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A B S T R A C T

Equivalent T-stubs are traditionally employed to model the structural behaviour of the tension zone of moment 
resisting connections. The design model for the equivalent T-stub considers only the bending moments acting on 
the equivalent T-stub without considering the co-existing tensile force acting on the T-stub web. However, for 
flange cleats in bending, the horizontal cleat leg (i.e. the T-stub web) at the junction with the vertical leg is 
subjected to a co-existing tensile force in addition to the bending moment which limits its moment resistance. 
This is not considered in current design specifications which made them potentially unsafe. This paper reports 5 
experimental tests on bolted aluminium angle cleats in grade 6082 T6 that were used to develop and validate a 
finite element model. Subsequently, parametric studies were conducted over a wider range of flange cleat ge-
ometries covering all types of failure modes considered in EN 1999-1-1. The design specifications for equivalent 
T-stubs in tension set out in EN 1999-1-1 were assessed and cases where the specifications are inaccurate or 
potentially unsafe were highlighted. A simple modification of the existing design model is proposed, which offers 
more consistent and safe ultimate capacity predictions.

1. Introduction

Structural aluminium is becoming increasingly popular in the con-
struction industry owing to its durability, favourable strength to weight 
ratio, and ease of manufacturability and aesthetics. Structural applica-
tions of aluminium alloys have been extended during the past decades 
and nowadays it is possible to find aluminium used as main load bearing 
elements in several bridges and buildings [1,2]. A key element that 
controls the stiffness, strength, robustness, and often drives overall cost 
in structures are connections.

The current European design code for application to structural 
aluminium is EN 1999-1-1 [3], which also provides the rules for 
connection design in its Annex N. According to this Annex N of EN 
1999-1-1 [3], aluminium connections can be designed using the 
component method outlined in EN 1993-1-8 [4], the part of the struc-
tural steel code that deals with steel joint design. The application of the 
component method allows determining the strength and stiffness of a 
joint utilising the mechanical features of the single fundamental struc-
tural components. Among the typical components of a joint, flange 
cleats in bending, shown in Fig. 1 (a), are listed by the component 
method as a type of connection to model beam-to-column connections. 
According to Annex A of EN 1993-1-8 [4], the design resistance of a 

bolted flange cleat in bending and its associated failure mode, along 
with their bolts in tension, should be taken as those of an equivalent 
T-stub of modified dimensions (see Fig. 1 (b)) using, however, the 
formulae given in Annex B of EN 1999-1-1 [3]. In Fig. 1 (b) bcf is the 
overall width of the angle cleat and leff is the effective length of the 
equivalent T-stub determined as leff=0.5bcf.

The design model for the T-stub resistance specified in Annex B of [3] 
is based on the upper bound theorem of plastic analysis. Four possible 
collapse mechanisms are considered, as shown in Fig. 2, and their cor-
responding collapse loads are determined according to Eqs. (1)–(4). The 
minimum of the four collapse loads is the resistance of the angle cleat. 
Mode 1 refers to plastic failure of the flange, where 4 hinges develop, 
two at the bolt locations and two at the web to flange junction. Mode 2a 
refers to plastic failure of the flange at the web to flange junction and 
simultaneous yielding of the bolts. Mode 2b refers to bolt fracture and 
yielding of the flange and finally, Mode 3 refers to bolt fracture. The 
ultimate design resistance for all these possible failure modes can be 
predicted using Eqs. (1)–(4), where Mu,1, Mu,2 and Mo,2 are given in Eqs. 
(5)–(7), respectively,1/k is a parameter related to the material, Bo and Bu 
are bolt related strengths given in Eqs. (8) and (9), where Ft,Rd is the 
design tension resistance and Bp,Rd is the design punching shear resis-
tance of the bolt-plate assembly, fo is the cleat material yield stress, fu is 
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the material ultimate strength, tf, g and ee are variables pertinent to the 
bolt arrangement of the equivalent T-stub shown in Fig. 3 (a), where ee ≤

1.25 g. In the absence of welds and hence heat affected zones in the 
extruded angle cleats considered herein, the ρu,haz and ρo,haz coefficients 
in Eqs. (5)–(7) equal to one, whilst all partial safety factors γM are set to 
unity to facilitate the comparison between the design predictions and 
the obtained experimental and numerical resistances. The variables leff,1 
and leff,2 for Modes 1 and 2, respectively, are the minimum between the 
effective length for circular patterns and non-circular patterns of the 
yield lines that could form. 
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The structural behaviour of bolted T-stubs has been extensively 
investigated for several structural metals including carbon steel, high 
strength steel, and stainless steel whilst research on aluminium T-stubs is 
yet relatively scarce. Coehlo et al. [5] experimentally investigated the 
performance of T-stubs made of carbon steel welded plates and assessed 
relevant design methods for a wide range of T-stub configurations and 
geometries. Zhao et al. [6] tested a series of T-stubs made of different 
steel grades including high-strength steel and observed that high 
strength steel T-stubs offer greater strength but less ductility. A series of 
experimental and numerical investigations were carried out under both 
monotonic [7–11] and cyclic loading on stainless steel T-stubs [12] and 
full-scale connections [13–15] to address the issue of very limited 
structural data on stainless steel connections. De Matteis et al. conducted 
a series of tests under monotonic and cyclic loading on aluminium alloy 
bolted T-stubs [16,17] and carried out parametric studies [18,19]. Xu 

Fig. 1. (a) Beam-to-column connection with bolted angle cleats in bending; (b) equivalent T-stub model.

Fig. 2. Failure modes of equivalent T- Stub [3].

Fig. 3. Definition of variables in design formulae.
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et al. [20] investigated failure modes on bolted aluminium alloy T-stubs 
and Wang et al. [21] experimentally examined extruded aluminium 
alloy T-stubs connected by swage-locking pins.

This paper investigates for the first time the structural response of 
bolted aluminium alloy angle cleats in tension, which is a common joint 
arrangement used for semi-rigid joints. Given the adverse effect of 
welding on aluminium strength and ductility within the heat affected 
zone [22,23], utilising a fully bolted configuration for beam-to-column 
joints is an attractive structural solution. The latest version of EN 
1999-1-1 [3] allows the use of the component method specified in EN 
1993-1-8 [4] for the design of connections and identifies flange cleats in 
bending as a typical joint component as above explained, however it 
does not explicitly cover the design of bolted flange cleats according to 
its equivalent T-stub model. In addition to this, past studies on bolted 
carbon steel angle cleats have highlighted that the failure modes of an 
equivalent T-stub are not representative of the actual failure modes that 
develop in bolted angle cleats [24,25], where failure occurs in the web of 
the angle cleat rather than the flange. This is because the web of the 
angle cleat carries a tension force that is not considered in the current 
formulae given by Eqs. (1)–(9) and presented above.

Allowing for the coexisting axial force when designing aluminium 
cleats is critical because the design model for aluminium T-stubs allows 
for a full exploitation of the material strength (ultimate tensile stress) 
and hence there is no reserve strength that can be relied upon to 
accommodate the additional small but non-negligible stresses due to the 
axial force. Conversely, in steel and stainless steel T-stubs, the design 
model of EN 1993-1-8 [4] assumes failure to occur when the plastic 
resistance of the T-stub is reached. Hence it does not allow stresses 
higher than the yield strength to develop and failure is assumed to occur 
either when 4 plastic hinges form in the T-stub or earlier if bolt fracture 
precedes the formation of the 4 plastic hinges. Therefore, sufficient 
reserve strength is available to accommodate additional tensile stresses.

To address both the lack of structural performance data on bolted 
aluminium angle cleats and the deficiency of the current method given 
in EN 1999-1-1 [3], experimental tests followed by a finite element 
numerical study is utilised in the present investigation to assess the 
suitability of the T-stub model specified in EN 1999-1-1 [3] to simulate 
the effect of bolted flange cleats in bending. Based on experimental and 
numerical data, a new design method is proposed to accurately capture 

the ultimate design resistance of bolted aluminium angle cleats.

2. Experimental study

A series of experimental tests on bolted aluminium angle cleats in 
tension was conducted at the Structures Laboratory at the University of 
Birmingham to obtain fundamental structural performance data and 
enable the development and validation of numerical models. Since 
failure of these connections is governed by fracture, material tests, in 
addition to the standard dog-bone coupons, include flat-grooved speci-
mens to calibrate the fracture model used in subsequent numerical 
studies.

2.1. Material coupon tests

All material was in grade 6082 T6 which is an alloy included in EN 
1999-1-1 [3]. Standard dog-bone coupons were extracted from the same 
plate used to manufacture the angle cleats with the geometry shown in 
Fig. 4, where a specimen during and after testing is also depicted. 

Fig. 4. Dog bone (a) sketch in mm; (b) specimen during testing; (c) after testing.

Fig. 5. Experimental stress strain response for dog-bone coupons and Ramberg- 
Osgood approximation.
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Uniaxial tension testing was performed in a 600 kN Avery tension/-
compression self-reacting frame on two specimens under displacement 
control with an applied rate of 0.02 mm/s until fracture. Strains were 
measured over a 50 mm gauge length using an epsilon extensometer.

Fig. 5 shows the experimental curve together with an analytical 
approximation based on the Ramberg-Osgood model. Average material 
properties obtained from the dog-bone coupon tests are reported in 
Table 2, where E is the Young’s modulus, fo is the 0.2 % proof strength, n 
is the Ramberg-Osgood exponent that provides a best fit to the experi-
mental curve, fu is the ultimate stress, εu is the strain at ultimate stress, 
and εf the strain at fracture. The nominal fo, fu and n given in EN 1999-1- 
1 for the 6082 T6 alloy are 250 MPa, 290 MPa and 32, respectively, 
which appear to be conservative based on the experimental results ob-
tained herein and in past experimental studies [26]. Average bolt ma-
terial properties obtained from tested coupons from the same batch of 
bolts [27] are also summarised in Table 1.

2.2. Tests on flat grooved coupons

To model material fracture, material tests on coupons subjected to 
various levels of stress triaxialities need to be conducted [28,29]. Since 
all bolted cleat specimens are expected to fail due to tension with min-
imal effect of shear, no shear material specimens were tested and the 
developed fracture model incorporated only stress triaxiality 

dependence. Three flat grooved specimens incorporating a circumfer-
ential notch as shown in Fig. 6 were conducted. The nominal minimum 
thickness of specimens at the groove t0 was set to 5 mm, and the radius of 
the groove R was varied between 4 and 40mm to obtain a range of levels 
of stress triaxiality η based on Eq. (10) [27]. All flat grooved specimens 
have a Lode angle of approximately 0, which is in accordance with the 
Lode angle of the legs of the flange cleats during testing. The equivalent 
strain to fracture εf in the necking cross section of a flat notched plate 
can be estimated using the logarithmic measure of the true strain by Eq. 
(11) [26], where tf is the measured thickness of the material coupon 
after fracture. The flat-grooved specimens were labelled with the sized 
radius R in mm namely R40, R8 and R4. 

Table 1 
Average material properties of plate and bolt material.

Specimen E (MPa) fo (MPa) fu (MPa) εu (%) εf (%) n

6082 T6 72956 308.0 331.2 6.5 11.1 48
8.8 Bolt 193000 957.0 974.0 4.7 10.1 -

Fig. 6. Flat-grooved (a) sketch; (b) specimens with varying R and t0 before testing; (c) after testing.

Table 2 
Geometric configuration, associated stress triaxiality, and key test data for coupons.

Specimen Stress triaxiality η Initial thickness t0 (mm) Fracture thickness tf (mm) Plastic strain at fracture εf Avg. ultimate tensile stress fu (MPa)

Dog bone coupon 0.33 6.01 4.87 - 331
Flat grooved R40 0.61 4.93 3.19 0.50 353
Flat grooved R8 0.75 4.97 3.70 0.34 372
Flat grooved R4 0.89 4.99 4.05 0.22 390

Fig. 7. Load-extension curves for 6082 T6 material coupons.
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Table 2 reports key parameters defined by Eqs. (10) and (11), while 
Fig. 7 shows the recorded load-extension curves for all coupons. As ex-
pected, with increasing stress triaxiality the average maximum stress at 
the notch increases and the displacement at fracture decreases. The 
curves shown in Fig. 7 are used to calibrate the fracture model as dis-
cussed in Section 3.2

2.3. Tests on bolted flange cleats

Five experimental tests were performed on aluminium angle cleats in 
Grade 6082 T6 that were manufactured by extrusion and supplied with 
the dimensions and hole arrangement shown in Fig. 8 (a). Two test 
setups were considered: (i) a single symmetric setup as shown in Fig. 8
(b), where the webs of two angle cleats are bolted back-to-back and the 
flanges are bolted to a rigid plate (R), and (ii) a doubly symmetric setup 
as shown in Fig. 8 (c), where four angle cleats are all bolted back-to-back 
(S). In both test setups the webs of the angle cleats were bolted to a plate 
clamped to the grips of the machine that applied tension force which is a 
setup similar to that applied to the T-stub in tension tested in [5–12] and 
simulates the tension flange of a beam. In the single symmetric setup (S) 
the flanges were bolted to a fixed base and is a representative setup for 

Fig. 8. (a) Angle cleat dimensions in mm; (b) rigid plate arrangement (R); (c) symmetric test arrangement (S).

Table 3 
Tested specimen description.

Specimen Test 
arrangement

D d0 

(mm)
bcf 

(mm)
tw 

(mm)
g 
(mm)

ee 

(mm)

M10-6.2-21.6-R-1 Rigid plate M10 11.0 150 6.19 80.0 21.6
M10-6.2-21.6-R-2 Rigid plate M10 11.0 150 6.14 80.0 21.6
M10-6.2-41.6-S Symmetric M10 11.0 150 6.22 60.0 41.6
M10-12.7-21.6-S Symmetric M10 11.0 150 12.6 80.0 21.6
M16-12.7-41.6-S Symmetric M16 18.0 150 12.6 60.0 41.6

M. Cabrera et al.                                                                                                                                                                                                                                Thin-Walled Structures 215 (2025) 113447 

5 



connections between components of similar stiffness; this setup does not 
lead to the development of membrane action. Setup (R) is representative 
of a bolted flange connection to a very stiff component (e.g. thick flange 
of a column), and may lead to significant membrane action and hence 
enhanced strength if failure occurs at large enough displacements. The 
measured dimensions of the tested specimens are reported in Table 3
and illustrated in Fig. 8 (a). Two bolt types were considered: M10 in 
Grade 8.8 and M16 in Grade 10.9, in 11 mm and 18 mm clearance holes, 
respectively. It is noted that the M16 bolt in Grade 10.9 remained elastic 
throughout the test. Note that all angle cleats were of constant thickness 
hence tw=tf. and the average values based on three measurements across 
the web and flange are reported in Table 3.

The instrumentation consisted of the load cell embedded in the 
Avery machine and a Digital Image Correlation (DIC) system recording 
full field measurements of displacements and strains in the critical parts 
of the specimens, except for sample M16-12.7-41.6-S, where LVDTs 
were installed instead due to a fault in the DIC equipment. Prior to 
testing, the front part of the specimens was painted white using an 
elastic paint that can stretch without cracking and a black speckle 
pattern was sprayed to create the necessary measurement points as 
shown in Figs. 8 (b) and (c). Table 4 reports the failure loads and failure 
modes for each sample alongside the relevant predictions based on the 
equivalent T-stub model specified in EN 1999-1-1 [3] using partial 
safety factor γM1 = 1. Wherever cleat fracture occurred, this was always 
in the web at the flange to web junction due to the superposition of the 
bending stresses with the tensile stresses transferred by the loading 
plate. Due to inevitable asymmetries in the setup, fracture always started 
at the end of one of the flange cleat webs and propagated both longi-
tudinally and through the thickness of the vertical leg of the cleat.

Fig. 9 shows the recorded load-displacement response for the 5 tested 
specimens, while the failure modes are depicted in Fig. 10. It should be 

noted that the displacement reported in Fig. 9 corresponds to the gap 
opening (A-B) between the two pairs of the angle cleats for the (S) 
arrangement or the pair of angle cleat and the reaction rigid T-stub for 
the (R) as obtained by DIC monitored points A and B in Fig. 8 (b) and (c). 
As expected, the strength of the bolted cleats increased with increasing 
thickness and ee distance, as well as with increasing the bolt strength. 
Furthermore, the EN 1999-1-1 [3] predictions seem overly conservative 
for the thin specimens and become less conservative or even unsafe with 
increasing thickness. This is further investigated numerically in the 
following section.

3. Numerical modelling

3.1. Description of the model

A numerical model using the general-purpose Finite Element (FE) 
software ABAQUS [30] was developed following the modelling as-
sumptions reported in similar studies [8,10,11]. Eight-noded linear solid 
elements with reduced integration C3D8R were adopted to discretise the 
geometry of the angle cleats and bolts. Mesh refinement was applied into 
the fracture zone, as shown in Fig. 11, to allow the stress triaxiality and 
the plastic strain and hence the fracture process to be accurately 
captured. Similarly, the mesh discretising the bolts was also fine since 
bolt fracture was also a possibility explicitly considered in the model-
ling. The rigid plate for specimens in the (R) configuration was more 
coarsely meshed as it did not affect significantly the structural response 
and the stress predictions within the plate were of lesser importance. For 
all the analyses conducted, at least 3 solid elements through the flange 
thickness were adopted to capture the flexural deformations and avoid 
shear locking, in line with previous recommendations [8,10,11]. To 
reduce computational time, the symmetry of the specimens in terms of 
geometry, loading and boundary conditions was exploited and therefore 
only ¼ of the models was considered. Initial imperfections were not 
considered in the models since there was no deviation from the right 
angle in the supplied angle cleats and customarily are not considered in 
connection modelling.

A discretised quarter model of a specimen tested in the (R) 
arrangement is shown in Fig. 11 (a) and (b), where the symmetry planes 
and boundary conditions are also depicted. The applied boundary con-
ditions restrained the movement perpendicular to the symmetry planes, 
whilst the vertical displacement was restrained at the lower face of the 
rigid plate. The load was applied through the loading plate as a pre-
scribed vertical displacement higher than the one achieved during 
testing. For specimens in the (S) configuration shown in Fig. 11 (c), the 
modelling approach was similar, except that in place of the rigid plate 
the symmetric lower angle cleat and its loading plate was explicitly 
modelled, and the vertical displacement of the model was restrained 
across the bottom face of the lower loading plate, as shown in Fig. 11 (d). 
“All* with self” contact interaction was applied to the models, using a 
friction coefficient of 0.25 and “penalty” formulation in the tangential 
behaviour and “hard” contact in the normal behaviour. Separation after 
contact was allowed. Kinematic coupling was assigned to the top face of 
the loading plate, constraining all degrees of freedom and defining RP1 
as the controlling point.

The bolt geometry was simplified to reduce computation time and 
the modelling complexity. The bolt thread was modelled as a cylinder 
with an effective diameter equivalent to the stress area of the threaded 
bolts. The bolt head and nut were modelled as a single piece along with 
the bolt shank, and the hexagonal shape of the bolt head and nut were 
simplified as cylinders. These simplifications have been adopted in the 
literature without affecting the accuracy of the results [10,11,31]. No 
bolt preload was applied, given that in the tests the bolts were 
hand-tightened to obtain the snug-tight condition.

For all models a quasi-static explicit dynamic analysis was conducted 
to allow fracture to be captured without convergence issues within a 
manageable timeframe. To this end, mass scaling was employed to 

Table 4 
Equivalent T-Stub tensile tests results.

Specimen Fu,test 

(kN)
Failure mode 
Test

Fu,EC9 

(kN)
Failure 
mode 
EC9

Fu,EC9/Fu, 

test

M10-6.2-21.6- 
R-1

33.06 Web fracture 
(W)

24.7 1 0.75

M10-6.2-21.6- 
R-2

31.12 Web fracture 
(W)

24.3 1 0.78

M10-6.2-41.6-S 41.15 Web fracture 
(W)

35.1 1 0.85

M10-12.7-21.6- 
S

89.69 Bolt fracture 
(B)

92.8 2b 1.03

M16-12.7-41.6- 
S

172.3 Web fracture 
(W)

163.5 1 0.95

Fig. 9. Load-displacement response of tested specimens and failure mode, 
where W: Web fracture and B: bolt fracture.
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increase the stable time increment and hence reduce the overall 
computation time, whilst a smooth amplitude curve [30] was employed 
to apply the prescribed vertical displacement whilst minimising the 
inertia effects on the model. The suitability of the employed scheme was 
verified by ensuring that the kinetic energy remained a small fraction 
(less than 2 %) of the internal energy throughout most of the analysis 
time.

3.2. Material modelling and fracture

The bolt material properties and fracture model adopted herein for 
Grade 8.8 bolts were taken from [27], where fracture studies on bolts 
from the same batch as the ones used herein were reported. No fracture 
model was defined for the Grade 10.9 bolt since it remained elastic 
throughout the test. The obtained material coupon stress-strain curves 
reported in Table 2 for 6082 T6 were converted into true stress and 
logarithmic plastic strain and incorporated into the FE model to define 
the material response up to the attainment of the ultimate tensile stress 
(i.e. within the uniform plasticity material region).

Replicating the post-necking response of coupons is challenging 
given the localization and complexity of strains and stresses in the 
necked region. The post-necking material response was modelled based 
on an iterative modelling approach termed the mixed weighted average 
method, originally proposed in [32]. The main underlying assumption is 
that the post-necking material response can be approximated as the 
weighted average of a power law extrapolation and a linear extrapola-
tion of the material response beyond necking, which are considered to 
be lower and upper bounds respectively of the actual post-necking 
stress-strain response. This is defined in Eq. (12): 

σ = σu
[

w(1 + ε − εu) + (1 −w)

(
εεu

εεu
u

)]

(12) 

where σ and ε are the true stress and true strain values of the post- 
necking material response, σu and εu are the true stress and true strain 
at necking, and w and (1-w) are the weighting factors determined 
through an iterative trial and error approach until the numerical ma-
terial response is in close agreement with the experimental load- 

Fig. 10. Failure modes for specimen (a) M10-6.2-21.6-R-1&2; (b) M10-6.2-41.6-S; (c) M10-12.7-21.6-S; (d) M16-12.7-41.6-S.
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displacement curves reported in Fig. 7.
Fig. 12 shows the experimental and numerical curves for the dog 

bone and flat grooved specimens obtained for a weighting factor w = 0.3 
which leads to the best agreement with the experimental results and is 
used subsequently for all numerical analyses. Upon successfully repli-
cating the load-displacement curve of the material coupons, a fracture 
model is calibrated using the experimental curves reported in Fig. 7 and 
assuming that the strain at fracture is a function of the stress triaxiality. 
The triaxiality value at the centre of the specimen, where fracture ini-
tiates versus the equivalent plastic strain (PEEQ), is presented in Fig. 13
(a) for the tested flat grooved specimens, where it can be seen that the 
peak stress triaxiality increases with the radius of the notch. The average 
triaxiality for each flat-grooved specimen was calculated as the area 
under the curve showing the evolution of triaxiality at the centre of the 
specimens with plastic strain, normalised by the PEEQ at fracture εf as 
given in Eq. (13), where ηav is average stress triaxiality, ε is the equiv-
alent strain and εf is the equivalent strain to fracture. 

ηav =
1
εf

∫εf

0

η(ε)dε (13) 

The relationship between the stress triaxiality η and the equivalent 
plastic strain at fracture εf is shown in Fig. 13 (b) as well as the best fit 
curve defined by Eq. (14). This curve is used as a fracture initiation 
criterion using the ductile damage material option in ABAQUS and 
specifying a very low (virtually zero) energy for the fracture 
propagation. 

εf = 10.682e−5.064η (14) 

3.3. Validation

The developed FE model incorporating fracture is validated herein 
by comparing the numerically obtained load-displacement curves and 
failure modes with the previously reported experimental ones, as shown 

Fig. 11. FE (a) model parts; (b) boundary conditions for specimens in (R) configuration; (c) model parts; (d) boundary conditions for specimens in (S) configuration.

M. Cabrera et al.                                                                                                                                                                                                                                Thin-Walled Structures 215 (2025) 113447 

8 



in Fig. 14. Overall, the numerically predicted load-displacement curves 
are in close agreement with the experimental ones and the fracture is 
well captured by the FE models. The mean value of the numerical over 
experimental ultimate load for all five tests is 1.04 with a coefficient of 
variation of 0.03. The agreement of the experimental and numerical 
curves is close for all specimens indicating the suitability of the 
employed fracture model to predict fracture for both the 6082 T6 cleat 
material and the Grade 8.8 bolts.

Moreover, the comparison between the full-field strain measure-
ments obtained from the DIC system and the numerical strain fields for 
the maximum principal strain are in good agreement. From both 
experimental and numerical results, it is clearly observed that there is 
significant strain localisation on the inner side of the vertical cleat leg. 
This is caused by the combined effects of tensile forces from the applied 
tension and tensile forces due to bending. In Fig. 14 (a), the experi-
mental curves show a more gradual loss of strength before fracture 
compared to the numerical results. This difference arises because, in the 
experiments, factors such as asymmetries, loading eccentricities, and 
material variability caused fracture to initiate on one side of a single 
angle cleat and propagated progressively. In contrast, the FE models did 
not account for such variability, leading to simultaneous fracture along 
the entire length of both angle cleats and a correspondingly more abrupt 
loss of strength.

3.4. Parametric studies and discussion

Having validated the numerical model, 20 FE parametric models 
using the rigid plate arrangement were created based on the calibrated 
material and fracture parameters to explore the effects of angle thick-
ness, bolt diameter, and bolt distance to edge on the ultimate response of 
the bolted angle cleat. All models employ the material model (including 
fracture) for 6082 T6 previously discussed and the bolt material model 
for Grade 8.8 bolts developed in [27]. The results are then used to assess 
the suitability of the equivalent T-stub model for predicting the ultimate 
response of aluminium bolted flange cleats in bending. The numerical 
resistances are reported in Table 5 together with the design predictions 
of EN 1999-1-1 [3] with all partial safety factors set to unity, and the 
proposed method discussed hereafter. In bold are the design predictions 
that are unsafe.

Overall, the ratio of the ultimate load predicted by the equivalent T- 
stub model [3] over the numerical one Fu,EC9/Fu,FE is 1.00 with a COV of 
0.18, indicating a high scatter in the design predictions. The mean value 
and COV of the Fu,EC9/Fu,FE ratio for flange cleats predicted to fail in 
mode 1 (i.e. plastic failure of the flange) is 0.90 and 0.20 respectively, 
whilst these values become 1.13 and 0.09 for modes 2a (i.e. plastic 
failure of the flange at the web to flange junction and yielding of the 
bolts) and 2b (i.e. bolt failure and yielding of the flange). It can be seen 

Fig. 12. Experimental and numerical curves for (a) dog bone; (b) flat grooved specimens obtained for a weighting factor w = 0.3.

Fig. 13. (a) Evolution of stress triaxiality with plastic strain until fracture initiation; (b) equivalent plastic strain at fracture as a function of stress triaxiality bolts and 
proposed equation.
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Fig. 14. Comparison of the numerical force-displacement curves and failure mode with the experimental curves using the material plasticity-based method.
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that the design predictions for flange cleats using the equivalent T-stub 
model become increasingly unsafe with increasing flange thickness. This 
is believed to relate to the fact that with increasing flange thickness, the 

bending resistance of the flange cleats increases more rapidly than its 
resistance to tension, thus the effect of the coexisting axial tension is 
more detrimental for thick angle cleats. The co-existing tensile force in 
addition to the bending moment in the vertical cleat leg at the junction 
with the horizontal one leads to higher tensile stresses and premature 
fracture and is not considered by the T-stub model, thereby resulting in 
unsafe predictions for thick angle cleats.

4. Design recommendations for aluminium angle cleats

To rectify the observed dependency of the reliability of the pre-
dictions of the T-stub model on the cleat thickness, a simple remedy is 
proposed herein, which considers the effect of the tensile force acting on 
the vertical angle cleat. The approach specified in EN 1999-1-1 [3] is 
also employed herein, however the determination of the plastic moment 
resistance and ultimate moment resistance Mw,o and Mw,u of the cleat 
web is modified according to Eqs. (15) and (16): 

Mw,u =
2b

(
tw − teff ,u

)2

4
fu

1
k

(15) 

Table 5 
Assessment of EN 1999-1-1 [3] based on the parametric study and proposed method.

No. Bolt diameter t (mm) ee (mm) Fu,FE (kN) Fu,EC9 (kN) Failure mode EC9 Fu,EC9/Fu,FE Fu,mod 

(kN)
Fu,mod/Fu,FE Failure mode proposed

1 M10 6 25 19.2  15.7 1 0.82 15.2 0.79 1
2 M10 12 25 69.8  67.2 1 0.96 62.9 0.90 1
3 M10 18 25 107.6  108.5 2b 1.01 96.6 0.90 2b
4 M10 24 25 142.5  163.8 2b 1.15 137.8 0.97 2b
5 M10 30 25 190.1  203.4 3 1.07 191.1 1.00 2b
6 M10 6 50 31.7  21.8 1 0.69 20.9 0.66 1
7 M10 12 50 96.2  96.2 1 1.00 87.6 0.91 1
8 M10 18 50 156.8  158.4 2b 1.01 143.2 0.91 2b
9 M10 24 50 195.5  203.4 2b 1.04 186.2 0.95 2b
10 M10 30 50 223.0  203.4 3 0.91 203.4 0.91 3
11 M16 6 25 21.5  15.7 1 0.73 15.2 0.71 1
12 M16 12 25 69.9  67.2 1 0.96 62.9 0.90 1
13 M16 18 25 144.8  163.1 1 1.13 146.9 1.01 1
14 M16 24 25 215.7  254.2 2b 1.18 220.4 1.02 2b
15 M16 30 25 256.6  337.7 2b 1.32 277.2 1.08 2b
16 M16 6 50 34.7  21.8 1 0.63 20.9 0.60 1
17 M16 12 50 100.1  96.2 1 0.96 87.6 0.88 1
18 M16 18 50 207.6  241.4 1 1.16 208.2 1.00 1
19 M16 24 50 331.8  397.1 2a 1.20 350.9 1.06 2a
20 M16 30 50 429.5  490.6 2a 1.14 414.4 0.96 2b

All
Mean 1.00  0.91 
COV 0.18  0.14 

mode 1 Mean 0.90  0.84 
COV 0.20  0.17 

mode 2
Mean 1.14  0.98 
COV 0.09  0.06 

Fig. 15. Assumed stress distribution within the web of the angle cleat at failure.

Fig. 16. FE obtained normal stress distribution through web thickness for model 9.

M. Cabrera et al.                                                                                                                                                                                                                                Thin-Walled Structures 215 (2025) 113447 

11 



Mw,o =
2b

(
tw − teff ,0

)2

4
fu

1
k

(16) 

Where leff is the length of the angle cleat, tw is the cleat web thick-
ness,1/k is a material related parameter given in [3]. The moment 
resistance of the flange of the angle cleat remains unchanged. The newly 
introduced symbols teff,0 and teff,u are the effective web thicknesses 
contributing to the plastic moment resistance Mw,0 and the ultimate 
moment resistance Mw,u of the web of the angle cleat respectively. The 
assumed stress distribution within the web of the angle cleat at failure is 
shown in Fig. 15 by the dotted line. The part of the thickness designated 
as teff is contributing to the moment resistance of the web and the 
remaining thickness (tw - teff) is resisting the tensile force. The numeri-
cally obtained stress contour plot of the web section of a 24 mm thick 
angle cleat (model 9) in Fig. 16. The stress contours plotted in Fig. 16 (a) 
correspond to a cross-section of the web just above the flange to web 
junction; only one half of the cleat width is shown for clarity, exploiting 
symmetry. The stress distribution at mid-width of the angle cleat is also 
depicted in Fig. 16 (b), where a clear asymmetry between the 
compressive and the tensile stresses can be observed, which roughly 
agrees with the assumptions depicted in Fig. 15. The increment at which 
the numerical results were extracted was the one just prior to fracture 
which corresponds to the ultimate load. It is noted that the stress dis-
tribution depicted in Fig. 16 (b) has a significant linear (elastic) region 
within approximately half of the web thickness. This is due to the results 
being extracted at a small number (100) of equally spaced time intervals 
out of the thousands of time increments of the analysis for computa-
tional efficiency; hence results just prior to fracture which would have a 
more uniform stress distribution were not obtained closer to the one 
shown in Fig. 15.

The effective thickness teff can be determined by equating the tensile 
resistance of the area of the angle cleat resisting the tensile force [b(tw - 
teff)] to the failure load Fu for each failure mode. For mode 1 the failure 
load is given by Eq. (17): 

Fu,1 = 2b
(
tw − teff ,u,1

)
fu

1
k

=
2

(
Mu,1

)

w + 2
(
Mu,1

)

b
g

(17) 

Substituting Eq. (17) for (Mu,1)w in Eq. (15) results in a second degree 
polynomial equation and the unknown effective thickness teff,u can be 
explicitly determined from Eq. (18): 

teff ,u,1 = −2g +
̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅
4g2 + 4gtw − tw2

√
(18) 

Similarly, the effective thicknesses teff,u,2 and teff,0,2 corresponding to 
modes 2a and 2b are given by Eqs. (19) and (20) respectively: 

teff ,u,2 = −(g + ee) +

̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅

(g + ee)
2

+ 2(g + ee)tw −
ee

∑
B0

bfu
1
k

√

(19) 

teff ,0,2 = −(g + ee) +

̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅̅

(g + ee)
2

+ 2(g + ee)tw −
ee

∑
Bu

bf0

√

(20) 

Following the determination of the effective thicknesses corre-
sponding to modes 1, 2a and 2b, the corresponding resistances Fu,1, Fu,2a 
and Fu,2b are calculated with the resistance corresponding to mode 3 
remaining unchanged. The minimum of the four resistances is the design 
prediction Fu,mod according to the modification to the EN 1999-1-1 [3] 
proposed herein. The resulting design prediction Fu,mod, the ratio of the 
predicted over numerically obtained resistance Fu,mod/Fu,FE and the 
corresponding predicted failure modes are reported in Table 5. On 
average, the proposed method is underpredicting the resistance of the 
bolted cleats by 9 % with a coefficient of variation of 0.14. More 
importantly, contrary to the EN 1999-1-1 [3] design method, the pro-
posed method results in generally safe predictions, with a maximum 
overprediction of 8 %.

Comparing the two methods for the different failure modes, it can be 

clearly seen that the proposed method is slightly more conservative and 
more consistent for cleats failing in mode 1, but significantly more 
conservative and consistent for thicker specimens failing in mode 2. This 
is clearly visualised in Fig. 17, where the predicted over numerical 
strength ratio is plotted on vertical axis with the thickness of the angle 
cleat shown on the horizontal axis.

5. Conclusions

The experimental and numerical research reported herein showed 
that using the equivalent T-stub method for the prediction of the resis-
tance of aluminium bolted cleats becomes unsafe with increasing cleat 
thickness, due to the effect of the coexisting axial tension acting on one 
leg of the angle cleat. Since the EN 1999-1-1 resistance model employs 
the ultimate stress, there is no reserve strength to accommodate the 
extra tensile stresses, thus leading to increasingly unsafe ultimate ca-
pacity predictions. A simple modification to the current method is pro-
posed herein which considers that, unlike in the traditional T-stub 
model, failure happens in the angle cleat web. The proposed approach 
adopts the same overall assumptions but explicitly accounts for the ef-
fect of the tensile force on the resistance of the angle cleat web. It does so 
by assuming that a portion of the web thickness resists the tensile force, 
while the remaining thickness is effective in resisting the moment. It 
utilises explicit equations derived from first principles and is shown to 
offer improved ultimate capacity predictions both in terms of safety as 
well as in terms of consistency. It is therefore recommended that the 
proposed method be adopted in future revisions of EN 1999-1-1 for the 
determination of the ultimate resistance of bolted angle cleats.
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